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Abstract

This paper develops a nonlinear mid-fidelity aeroservoelastic model for smart rotor wind turbines
and studies the turbulent load alleviation of the wind turbines with trailing edge flaps (TEFs) ac-
tuated by a novel proportional-derivative model-free adaptive control (PD-MFAC) algorithm. This
nonlinear model contains a structural model for the tower and blades represented by geometrically
non-linear composite beams and an aerodynamic model for the rotor using a vortex panel method
coupled with a stall delay process. The capability of the new aerodynamic model to deal with flow
separations and analyze the detailed flow field enables it to simulate the dynamic response of the
wind turbine blade sections with TEFs with arbitrary size and deflection angles. It is shown that
the TEF alters the aerodynamic coefficients in a complex manner which could be explained by the
evolution of the detailed vortical field. Furthermore, three independent PD-MFAC TEF controllers
are designed to alleviate the turbulent load acting on the wind turbines. The effectiveness of the
controller in terms of turbulent load alleviation is evaluated by the root mean square value of the
blade root-bending moment (RBM). A traditional Gain-scheduled PI (GS-PI) controller is also de-
signed as a comparison to the PD-MFAC controller. Simulation results show that to reduce the
RBM and blade tip deflection (BTD) caused by external disturbances, the PD-MFAC flap controller
shows more effective performance than the GS-PI flap controllers.
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1. Introduction

To reduce greenhouse gas (GHG) emissions and achieve energy sustainability, renewable energies are
becoming one of the most popular energy sources in the world. Among different renewable energy
types, wind power is standing out as one of the fastest-growing and competitively commercialized
energy sources [I]. It is expected to increase its global demand by up to 60% by the year 2050. To
increase the average power capacity and decrease the Levelized Cost of Energy (LCOE), continuous
efforts have been made in the design of larger wind turbines with an increasing rotor diameter,
and hub height [2]. To this end, it is inevitable to have a more flexible and slender design for
longer and heavier blades. As is well established, due to the inflow turbulence, wind shear, tower
shadow, wake effects, gravity, mass and aerodynamic imbalances, and other sources of disturbance,
wind turbines are subject to significant fluctuating loads in different frequency domains. Some of
these unsteady loads may cause blade structural resonance and fatigue damage, some of those may
contribute to structural failure and lead to a reduction of life expectancy [3]. The increasing size of
wind turbine blades is accompanied by an increase in the susceptibility to gravitational effects and
in wind speed variations across the rotor disk, which add difficulties in mitigating the fluctuating
loads acting on the flexible blades. New challenges have been brought about in both modeling and
control design of wind turbines. The development of higher fidelity models and the optimization
of various flow-control devices to reduce the fluctuating loads, prolong the service life of the wind
turbines, will be of great significance for the following years [4].

In terms of numerical models of horizontal axis wind turbines (HAWTSs), a structural model
and an aerodynamic model are combined to build a full aeroservoelastic model. There are mainly
two categories of structural models according to the discretization methods used to present the
flexible bodies, i.e. three-dimensional (3D) finite-element method (FEM) and one-dimensional (1D)
composite beam models. 3D FEM is an extraordinary method to obtain detailed stress distributions
within a structure. However, it is too computationally expensive to be used in testing the control
strategies. There are linear composite beam models and nonlinear composite beam models. The
most commonly used linear beam formulations are the classical Euler-Bernoulli beam theories and
the Timoshenko beam theories for straight and uniform beams, containing the assumption of small
displacements [5]. The latter contains shear deformation effects, while the former does not. The
wind turbine blades normally have a thin and slender structure where the shear deformations effects

are negligible, thus the Euler-Bernoulli beam theory is more often used for simplicity. Furthermore,
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linear beam models are no longer sufficient to determine the large deformations and highly nonlinear
structural response on a smart rotor wind turbine structure. Thus geometrically-exact composite
beam theory, developed from the original Euler-Bernoulli beam theory by enabling non-uniform
deforming of the cross-section within the linear regime, was developed [6]. There are a wide variety
of approaches to modeling HAWT aerodynamics, ranging from the commonly used blade element
momentum (BEM) method [7], the actuator type models [§], the free vortex wake (FVW) models
[9, 10], and the unsteady vortex lattice methods (UVLM) [IT} 12} [13] to higher fidelity methods,
such as the CFD methods [I4]. CFD models are the most accurate while the most computationally
intensive models among others. BEM is the least computational cost while with the lowest accuracy.
To provide a good balance between the computational cost and the accuracy, this work will propose
a nonlinear aeroservoelastic model which includes a nonlinear Euler—Bernoulli beam theory and a
discrete vortex method.

In terms of the control strategies in the load alleviation of wind turbines, there are two main
categories, i.e. passive and active load alleviation methods. Examples of passive load alleviation
strategies include morphing structures on wind turbine blades [I5]. Such passive load alleviation
systems are normally not easily maintainable [16]. Among the active control methods, individual
blade pitch control (IPC) which alters the aerodynamic properties of the blades is the most widely
studied in the past [I6] [I7 [18]. Rezaeiha et al. [19] studied the total fatigue loads on the wind
turbines caused by different sources and showed that wind turbulence results in over 65% of flapwise
fatigue, while gravity contributes to over 80% of edgewise fatigue. The low-frequency deterministic
loads, caused by wind shear, tower shadow or gravity, could be well reduced by IPC, while for
mitigating the high-frequency non-deterministic loads, e.g. turbulent load, on wind turbine blades,
IPC is less effective due to its reaction speed restricted by the actuator limitations. Moreover,
using IPC to mitigate the blades’ fatigue load is compensated by an increase in pitch activity,
thus the design of IPC is a trade-off between the fatigue damage of the blades and blade pitch
actuators [20]. Thus, the concept of ’smart rotor control’ has been proposed for a more precise
and responsive turbulence load alleviation of wind turbine blades as a compliment to IPC [21], 22].
The main advantage of the smart rotor is dealing with high-frequency loads caused by turbulence
rather than the low-frequency deterministic load. Smart rotors refer to the distributed control
surfaces equipped on turbine blades that can be actuated rapidly. Among different types of 'smart

rotors’; the trailing-edge flaps (TEFs) demonstrated excellence in mitigating loads on wind turbines.



Table[T] exhibits the examples of state-of-the-art techniques on the load alleviation of wind turbines

Model TEF Control reduction in Reference
configuration Algorithm blade RBM
. Linear quadratic Bergami &
Aeroelgsgiﬁiﬁ;gﬁ w2 10% chord, 4+10° (LQ) control 14% Poulsen,
algorithm 2015 [23]
An aero-hydro-servoelastic o Ng et al.,
model (UVLM.based) 10% chord, £10 Hoo 4.68-13.2% 2017 I3
NREL’s FAST/AeroDyn + . .
CFD with k — w shear stress  20% chord, 45° Ggllncsoilhti(iﬁglg 5.48-19.5% Szlgi; t[;ij’
transport (SST) model
A modified version of FAST o
combined with XFOIL and 2270 ¢hord, 10 PID / DMC 8-42% Zhang et al.,
(Optimized) 2018 [25]
CFD
Feedback
BEM-based method ° . .. Zhang et al.,
coupled with CFD 25% chord, +9 linearization- 33.0-42.5% 2018 [26]
based
CPFC with an
azimuth angle He et al
BEM-based 10% chord, £15°  feed-forward and 53.7% -
2018 [27]
a loads feedback
control strategy
UIUC Appied Samara &
Aerodynamics Group’s 4% chord, +10° Feedll:::klllj()p 15% Johnson,
PROPID (BEM-based) conproe 2020 [22]
NREL’s OpenFAST + Feil ot al
XFoil (A linear 20% chord, +10 Generic PI >6 % 2020 [28]

characteristic assumption)

Table 1: A tabular comparison of state-of-the-art smart rotor techniques on the load alleviation of wind turbine
rotors. TEF = trailing edge flap; RBM = root bending moment; UVLM = unsteady vortex lattice method; UIUC
= The University of Illinois Urbana-Champaign; BEM = blade element momentum; NREL = National Renewable
Energy Laboratory; PI = proportional-integral; PID = proportional-integral-derivative; DMC = dynamic matrix
control; CFD = computational fluid dynamics; CPFC = Combined individual pitch control and TEF flap control.

using TEFs. Note that the (flap-wise or in-plane) blade root bending moment (RBM), one of the
e typical full-blade performance parameters, is a widely used parameter in the literature to study
the fatigue and extreme load in the wind turbine industry. Moreover, in the field test, it is easy to
measure the root bending moment. Thus, the reduction in the oscillation of RBM is demonstrated

here to show the control efficiency. Several research gaps still exist in these previous studies.

i. In the numerical simulation and control design of wind turbines with controllable flaps, the
70 UVLM-based and the BEM-based aerodynamic models are commonly used. The BEM method

requires a series of empirical corrections and may overestimate some aerodynamic loads, while
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a traditional UVLM model makes an attached flow assumption. Neither of these models deals
with the separating flows which could regularly be discovered in wind turbine flows. Higher-
order aerodynamic models such as non-linear lifting line free vortex wake (LLFVW) models
could include the non-linearity in wind turbine modeling, where the strength of the lifting line
is not got by satisfying the normal velocity boundary condition at selected points on the blade
but instead from an experimental C';, — « curve for the lift of the airfoil section. Similarly,
for a smart rotor configuration, the strength of the lifting line is determined by the non-linear
coefficient data of the flap deflection. However, the non-linear LLEFVW model can not simulate
the detailed flow field evolution. Moreover, a large amount of empirical coefficient data are
required from either CFD or experiments. Those data change with different wind turbine
blade geometry, different flap sizes, and different flap angles.

ii. The involvement of CFD could largely improve the accuracy of the model when dealing with
complex flows such as separating flows. However, high-precision CFD computations consume
a large amount of computing resources and are limited to specific shapes.

iii. Most of the model-based smart rotor control schemes in the literature (e.g. H,, control [13]) for
HAWTSs show a satisfactory load alleviation effect. Nevertheless, for highly nonlinear models,
there is a limited load reduction performance of model-based controllers. Traditional model-free
control strategies, e.g. proportional-integral-derivative (PID) controller and Gain scheduling
proportional-integral (PI) controller, only gave a limited reduction of the load. The parameters
in a PID control scheme depend on the specific operating conditions, therefore the control

efficiency will be inevitably reduced in off-design conditions.

In our previous paper [29], a novel proportional-derivative model-free adaptive control (PD-
MFAC) scheme has been developed and tested on a preliminary low-fidelity model of a wind turbine
configuration. In the PD-MFAC, in order to build a linearized equivalent dynamical model along
the dynamic operation points of the original nonlinear single-input single-output (SISO) system, a
pseudo partial derivative (PPD) is introduced. The PPD is determined by the real-time measure-
ments of the input and output data of the controlled closed-loop system. The PD-MFAC offers
both improved performance and applicability. In the proposed PD-MFAC flap control scheme, the
features of the dynamic wind turbine system with smart rotors, e.g. the coupling of the time-
dependent nonlinear aerodynamic and structural characteristics, are estimated by the PPD vector.

The introduction of the PPD vector transfer the original model into an equivalent online data
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model. Thereby, contrary to the traditional model-based control schemes, the unstable responses
and the possible degradation of the performance due to the order-reduction could be avoided. The
developed PD-MFAC has the robustness dealing with dynamic systems with high complexity at dif-
ferent operating conditions. It is shown that the PD-MFAC system achieves higher load reduction
than both the classical model-based control algorithms, such as H, controller, and the well-studied
model-free method, such as the Gain-scheduled proportional-integral (GS-PI) controller.

This work focus on the alleviation of the flapwise fluctuation loads caused by the inflow turbu-
lence by actively adjusting the trailing-edge flap angle. To address the research gaps in the modeling
and control of large wind turbines, the objectives of the present work are twofold: (1) to construct
a nonlinear vortex panel with stall delay model for the aerodynamic simulation of the HAWT ac-
tuated with the smart rotor; (2) to design three independent model-free adaptive TEF controllers
to achieve desirable dynamic turbulent load alleviation of the HAWT. Simulation studies are car-
ried out to evaluate the efficiency of our designed PD-MFAC in the reduction of the root-bending
moment (RBM) and blade tip deflection (BTD) on a highly nonlinear smart rotor wind turbine
model. GS-PI controllers are also designed and tested on this new model as a comparison to the
proposed PD-MFAC. Quantitative studies on the probability density distribution along with the
power spectral density in the frequency domain are also performed to further prove the superiority
of the proposed PD-MFAC strategy.

In Section 2, the aeroservoelastic wind turbine model including a newly developed unsteady
aerodynamic model considering the trailing edge flap deflection is described. In Section 3, the
MFAC flap controller is designed for load alleviation, and a GS-PI controller is also designed as
comparison. In Section 4, numerical results of the open-loop simulation, the MFAC control and the

GS-PI control are given. In Section 5, concluding remarks are given.

2. Numerical method

The aeroservoelastic model of a wind turbine [30] with smart rotors will be adapted from the
low-fidelity model developed in our previous work [29]. Although the proposed aeroelastic model
is eligible for modern large and flexible wind turbines, we still use the NREL 5MW model wind
turbine as an example to demonstrate and validate our new model. The new model consists of a
structural model and an aerodynamic model. The structural model is directly inherited from the

previous work, while a nonlinear aerodynamic model is newly developed here based on the vortex
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panel method (VPM). This new aerodynamic model is a mid-fidelity replacement of the linear strip
theory and the thin airfoil theory in the previous work. It is capable of incorporating the nonlinear
effect caused by the flow separation and dynamic stall. This section will first recall the structural
model based on the nonlinear composite beam model, finally demonstrate the development of the
aerodynamic model based on VPM. In this work, the same wind turbine (NREL 5-MW reference
wind turbine) configuration as in Li et al.(2021)[29] is continuously used for the aeroservoelastic
modeling and control design. The basic parameters for the wind turbine configuration and the
static aerodynamic properties for the blade sections of the reference wind turbine (Cra, Cro, Cpo
and Chy) could be found in our previous paper[29)].

In the numerical simulations, the wind turbine is operating in a turbulent wind field with a mean
inflow speed V,, and a specific turbulent intensity. The turbulence inflow data ws, in accordance
with the International Electrotechnical Commission (IEC) standard 61400-1 [31], will be generated
by a well-known open-source stochastic inflow turbulence tool (TurbSim) developed by National
Renewable Energy Laboratory (NREL). As the considered model wind turbine has a rated wind
speed of 11.4 m/s, mean wind speeds of 11m/s and 14m/s are chosen to cover the typical operating
speed range. As the turbulence intensity at the mean wind speed of 11 -14 m/s ranges from 5%
to 20%[32], three typical turbulent intensities from this range are chosen, they are 6%, 10% and
17.5%, respectively. The von Karman turbulence model and the Normal Turbulence Model (NTM)
with different turbulence seeds are chosen in TurbSim. Yaw angles are not considered since it is

out of the scope of this work.

2.1. Structural Model

The same structural model as in the previous work[29] is adopted here. It is a full 6-degree
of freedom (DOF') geometrically-nonlinear Euler-Bernoulli beam model where the tower and the
blades are defined as a collection of geometrically nonlinear composite beams respectively. The
wind turbine configuration and its discrete multi-body composite beam representation are shown
in Fig. [I The intrinsic beam formulations are closed as follows according to Hamilton’s principle,

M, 0 —L1(x1)M; 2 +E— L3(x2)C, fa

x = X — , (1)
0 C, 2 _ET L] (x1)C, 0



TEF

Figure 1: The multi-body configuration (left) and the discrete multi-body aerodynamic and structural model (right)
of the HAWT. The associated structural dynamic quantities are marked, where the symbol a indicates the inertial

Flap Deflection &

Collocation
Point, ‘S’

fo(s,1), Mg(s,1)

VS (S,l), C()S (S,Z) CM +CM§

frame (’a-frame’), and the symbol T indicates the local frame ("T-frame’). TEF = trailing edge flap.

0.2L,

flap (15%C,)

08L,

Figure 2: Smart rotor blade configuration. Left: the wind turbine blade with a trailing edge flap (TEF), which
occupies 20% span, 15% local chord and is located at a mean position of 80% span; Right: the airfoil at a typical
cross-section of the wing is at a local incidence of «, and the flap angle is 8 (positive when deflects downward).
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where x = [ x| xJ |' is the state variables at s, the operator £; is introduced to convert a
6-element state vector into a matrix, and E = £,;([1 0 0 0 0 0]') is a constant matrix.
M,(s) and Cq(s) are the beam-equivalent sectional mass and compliance matrices at a local co-
ordinate of s. The total external force is denoted as f4. For the details of the structural model
please refer to Li et al. (2021)[29]. In this work, a bigger flap size is considered for better control
performance than the small flaps. The TEF configuration considered here takes up 20% of the
wingspan and 15% of the local chord as shown in Fig. [2l We will model the dynamics of the TEF
by modifying the shape of the wing sections (the airfoils) continuously, instead of modifying the

local aerodynamic coefficients of the lifting surface. In Fig. [2| the local angle of attack is denoted

as «, while the flap deflection angle is denoted as .

2.2. Aerodynamic model

The aerodynamic model is a vortex panel method with a stall delay algorithm, where the sepa-
ration position is intuitively taken as the main parameter to be determined. The vortex panel
method for a blade section with a TEF is shown in Figld] A total number of N — 1 panels
(VS;,i = 1,2,...,N — 1) are allocated on the body surface. Each of the panels is represented
by a linear distribution of vorticity. The effects of the control surfaces (the trailing edge flaps) are
incorporated by modifying the shape of the body at each time step. The steady-state separation
point is prescribed and provided by XFoil or experimental data in lookup tables. A dynamic stall
delay algorithm is introduced to determine the dynamic separation point.

In subsection 2.2.1, we will recall the standard VPM, and in subsection 2.2.2, we will introduce
the dynamic stall delay model to determine the dynamic separation point. Since the state-space
description of the aerodynamic model is the same as in our previous paper[29], we omitted the

detailed formulas here.

2.2.1. Vortex panel model (VPM)

Given the specific geometry of the airfoil deformation and the dynamic separation position, the
problem described in Fig. [3]becomes a standard VPM. In this model, the N+3 unknown parameters,
v (1=12,..,N), yrg, vsep, and o, are solved by Neumann non-penetration condition at the center
of each VS; (V®;-n; =0,i=1,2,..., N — 1), the Kutta condition at the trailing edge (v1 +yn =

~vrE), the vorticity continuity at the separation point and trailing edge (Ysgp = Yiciggp: YN = 0),



Figure 3: Schematic display of the singularity distributions in the panel method for separated flows. The vorticity
strength at each end of the panel is denoted as v; (i = 1,2,..., N). A trailing edge vortex sheet VSrg with a strength
of yrg is released at the trailing edge, and another vortex sheet VSpg with a strength of ysgp is released at
separating point i = igep to account for the flow separation. A constant source o distribution is applied over the
airfoil.

and the implementation of Kelvin’s theorem ((vsgpAlspp)! + (yreAlrg)! =T — ;). Here t
and t — 1 refer to the current time step and the last time step respectively, and Alsgp, Alrg are the
length of the separating vortex sheet and the wake sheet respectively. Note that once the vorticity
is shed to the flow field as point vortices, their strength remains constant in time until they are
merged by coalescence. A coalescence criterion in the far wake has been used to restrict the total
number of point vortices. In each time step, the strength of the vortex distributions are resolved, the
induced velocity field and the velocity potential are then obtained. The reader could refer to Katz
(1981)[33] for more details about solving the standard VPM. The local acrodynamic coefficients of
the lifting surface Cp,, Cp, and C); are obtained by integrating the pressure distribution over the

airfoil given by the unsteady Bernoulli Equation

v? 2 0P,
. B 2
Cyi vz VZ ot (2)

This VPM has been validated with classical cases such as the starting flow around a thin airfoil

at an incidence of 45°.

10



o 2.2.2. A dynamic stall model to determine the dynamic separation point
The steady-state separation point for a 2D airfoil with TEFs as a function of the AoA (a) and
the TEF deflection angle () could be obtained in several ways, such as XFOIL tool, the extended
Kirchhoff’s Law, or experimental measurements. For simplicity, here we will use an extended
Kirchhoff’s Law to determine the separation point of the airfoil with TEF. Here the steady-state

185 lift coefficient is given by

o0,
85 a=0

where g(«) is a empirical parameter which satisfies g(0°) = 1, ¢(90°) = 0. According to the experi-

CL(aa 6) = CL(a)|B=0 + g(a) 57 (3)

mental results [34], the steady lift coefficient is proportional to the flap deflection in a certain range
of small angles of attack. Thus here we choose g(a) = f*(a) as an approximation. Subsequently,
the steady airfoil trailing edge separation point f*¢(a, 8) could then be obtained from the extended

Kirchoff’s flow equation.

st _ CL(aaﬁ) 1\2
f<“ﬁ”‘@¢chxﬂmma@ g <®

With the steady-state separation points given, two time lags, i.e. the time-lag due to the LE

pressure (7,) and the time-lag due to the dynamics of the boundary layer (Ty) are introduced here
to calculate the dynamic (stall-delayed) separation points. The dynamic separation point after the

first delay is determined by

acr &y 1 1
L4 2o =7 0h ).
Cp/ t 5
Qequ (t) = (/EL( ) + ayo, (5)

f/ (t) = fSt (aeqv (t) 76) ,

where C7 (t) is the unsteady lift coefficient for attached flow, and 7}, = 1.7 is the time constant
for the separated flow [35]. C’g (t) is the lift coefficient with a time-lag to the attached flow lift

coefficient C7 (t). Likewise, the dynamic separation point after the second time lag is determined

11
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df" ()
dt

4 Tlff” () = Tlff’ (t). (6)

where Ty = 3 is the time constant for the separated flow which can be determined from unsteady
aerofoil data [35]. To validate the dynamic stall algorithm coupled with the VPM for predicting the
aerodynamic coefficients, we compare the experimental aerodynamic coefficients of an airfoil (NACA
4415) which has similar dynamic responses as NACA64_A17 with the force coefficients obtained by
our model in different dynamic cases [36]: (a) o = 8° + 10%sin(wt); (b) o = 14° + 10%sin(wt); (c)
a = 20° £ 10°sin(wt); (d) a = 8° £ 5°%sin(wt); (e) o = 14° £ 5°sin(wt); (f) o = 20° £ 5%sin(wt).
The comparison results are shown in figures and [0] for the lift coefficient, the drag coefficient,
and the moment coefficient, respectively. We can see from these figures that our model compares
well with the experimental data.

Moreover, the comparison of the lift coefficient hysteresis curves with different flap dynamics
B =10%sin(wt+¢) (¢ =0, 7/2, and 7) are shown in Fig. [7] The smart rotor shows similar dynamic
lift responses as the experimental results in Raiola et al. (2018) [34]. For different phase delays ¢
with respect to the pitching motion of the main airfoil, the lift coefficient loops 1 -2 -3 -4 — 1
have different shapes. The effect of TEF dynamics on the lift coefficient for the case of pitching
angle a = 8° £+ 10°sin(wt) is depicted in Fig. [7| (a), and the influence of ¢ on the lift coefficient
for the case of pitching angle a@ = 14° + 10°sin(wt) is shown in Fig. [7| (b). In both figures, it
is shown that the lift coefficient loops rotate counterclockwise for ¢ = 0, i.e., the TEF deflection
angle is in phase with the airfoil pitching angle. On the contrary, both of the lift coefficient loops
rotate clockwise ¢ = 7, i.e., the TEF deflection angle and the airfoil pitching angle are in phase
opposition. Among all different phase differences, ¢ = 7/2 causes the maximized amplitude of the
lift coefficient hysteresis cycle.

The above phenomena could be well explained by the detailed vortex field evolution shown in
Fig. [§] for the case of o = 14° £ 10°sin(wt). When the angle of attack approaches the mean value
in the down-stroke (point '1’ in Fig. 8| (b)), the reason for the lowest lift coefficient in the case of
¢ = m/2 are three folds: 1 - the TEF deflection against the camber-line disturbs the big separating
bubble above the airfoil, thus weakens the low-pressure area on the upper surface of the airfoil and
reduces the lift coefficient; 2 - the TEF deflection reduces the equivalent curvature of the airfoil,

thus reduces the linearized lift coefficient; 3 - the TEF deflection causes the rolling up of a trailing
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a = 14° £ 5°%sin(wt); (f) a = 20° £ 5%sin(wt).
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Figure 6: Comparison between dynamic stall models for a NACA64_A17 airfoil and the experimental moment coeffi-
cient results for a NACA4415 airfoil [36] at various mean angles of attack for a reduced frequency k = we/(2Veo) = 0.1.
(a) a = 8° £ 10°sin(wt); (b) a = 14° + 10°sin(wt); (c) a = 8° £ 5%sin(wt); (d) o = 14° + 5°sin(wt).
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Figure 7: Comparison of dynamic stall behavior for the lift coefficient on a NACA64_A17 airfoil with different TEF
dynamics 8 = 10°sin(wt + ¢) (¢ =0, 7/2, and 7). (a) a = 8° £ 10°sin(wt); (b) o = 14° £ 10°sin(wt).
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Figure 8: The detailed vortex field evolution at four typical instants during the dynamic stall for the cases of
o = 14° £ 10°sin(wt) without TEF, and with different TEF dynamics 8 = 10°sin(wt + ¢) (¢ = 0, /2, and 7). The
red solid dots represent the counterclockwise rotating point vortex, while the blue solid dots represent the clockwise
rotating point vortex. The black arrows on each solid point show the local velocity of each point vortex.
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edge vortex, which reduces the lift coefficient through an upwash effect on the lower surface of the
TE. When the angle attack is at the lowest value (point '2’ in Fig. [8| (b)) or approaching the mean
value in the up-stroke (point ’3’ in in Fig. [8] (b)), the lift coefficients mainly depend on the linear
effects. At point ’2’; the in-phase flap deflection (¢ = 0) with respect to the angle of attack causes
an equivalent negative curvature which causes a decrease in the lift coefficient. On the contrary,
the opposite-phase flap deflection (¢ = 7) causes an equivalent positive curvature, which increases
the linear lift coefficient. At point ’3’, all the cases with flap deflection cause the rolling-up of a
separating vortex at the trailing edge, which breaks the stall delay effect, thus decrease the lift
coefficient compared with the case without TEF. At point '4’ when the angle of attack reaches
the peak value, the flow is completely separated and highly nonlinear. The lift coefficients are not
affected by the TEF deflection anymore.

Similarly, the comparison of the drag coefficient hysteresis curves with different flap dynamics
B = 10°sin(wt + @) (¢ = 0, m/2, and 7) are shown in Fig. [9] The comparison results for the
moment coefficients are shown in Fig. The drag coefficients and the moment coefficients
could be analyzed similarly to the lift coefficients. For the relative small angle of attack case
(o = 8° £ 10°sin(wt)) in Fig. [9] (a) and Fig. [10] (a), we can see that the drag coefficient hysteresis
curves rotates clockwise and the the moment coefficient hysteresis curves rotates counterclockwise
when phase difference ¢ increases from 0 to 7. It is not difficult to understand that the aerodynamic
characteristics are governed by linear effects within most of this angle range. On the contrary, it
becomes more complicated for a larger average angle of attack case, since the aerodynamics are
now dominated by nonlinear effects as shown in Figures[9] (b) and [L0] (b). When combined with
the effect of TEF deflection on the aerodynamic drag and moment on a dynamic stall airfoil could

be well explained in a similar way as its effect on the lift.

3. Control system design

Three independent and identical flap angle controllers driven by either the PD-MFAC algorithm
@D or the traditional GS-PI scheme are designed for the mitigation of the RBM fluctuation on each
blade. The objective of this control system is to minimize fluctuation of the root bending moment
(RBM) caused by turbulence on each blade. The input data of the PD-MFAC controllers are
the real-time measurement of the RBM on three blades, and the control output of the PD-MFAC
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Figure 10: Comparison of dynamic stall behavior for the moment coeflicients on a NACA64_A17 airfoil with different
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Figure 11: Closed-loop block diagram of the fluid-structure coupling and control system, with a detailed control
structure of the PD-MFAC scheme.

controllers are three flap pitch angles. A closed-loop block diagram of the fluid-structure coupling
and control system is depicted in Fig.

The derivation and the stability analysis of the PD-MFAC algorithm could be found in our
previous work [29]. Here we only give the final expression of this algorithm and the parameters.

For a SISO nonlinear system expressed in the time discrete form

y(k+1) = f (y() oy (k= ny) s u (k) (k=) (7)

where u (k) is the input signal and y (k) is the output of the nonlinear SISO system at discrete time
k, n, and n,, are the known orders, which are positive integers, a virtual control input (the input
of the equivalent system shown in Fig. is defined as

w* (k) = u (k) + K1y (k) + Ko A?’A(tk) : (8)

where K7 and K5 are constant control parameters, Ay (k) = y (k) —y (k — 1) is the time difference
of the system output, and At is the time step for the discrete system. By introducing the PPD
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vector ¢7, the system could be linearized along the operation point as follows
Ay (k+1) = ¢r, (k) AU (k) -
The PD-MFAC algorithm can be derived as

p1o1 (k) (Wres (k+ 1) — y(k))  61(k) X1, pidht (k) Au (k—i+1)

u(k) = u(k—1)+

At [dioe)| xt [dion)|
~ (9a)
—sign (31 (1)) (KlAy (k) + Kz (AyA g@)) 7
B () = & (1) + nA T (1)« VB 8,7 (EZDAT; (k1) (9b)

p+ AT (k=1)|

Gr(k) = d1.(1), if |$r(h)|| < &, or [AVL(E-1)]| <&, or sign(di (k) £sign(i(1). (%)

Here az (k) is an estimation of the PPD vector ¢3 (k). AU7L (k) = U7 (k) — U7 (k — 1) is the
time difference of historical virtual control input vector U7 (k). The virtual control input vector is
obtained by U7, (k) = [u* (k),...,u* (k — L + 1)]. For our considered case, L = 3. The step factors
pi € (0,1] and n € (0,2], and the penalty factors satisfy A > 0, > 0.

The parameters in the PD-MFAC are tuned by using a particle swarm optimization (PSO)
algorithm. In the PSO algorithm, the number of swarms is set to be 20 and the number of maximum
iterations is set to be 50. The searching process will continue until the residual converges to le-12.
Here is the results tuned for this PD-MFAC scheme: k; = 9.8366 x 107% Ky, = 3.91 x 10799, X =
8x108%,p=16.684 x 1073, =9 x 1074, = 9 x 1073, ¢} (0) = [8.2 x 105,8.2 x 10%,8.2 x 10%]7".
Differing from our previous work, a wider saturation of [—45°, +45°] is applied here to allow larger
flap deflection angles when tuning our control parameters. However, as will be shown in the next
section, in the close-loop simulations with our tuned control parameters, the flap deflects between
—15° and +15°. The reference control input is the RBM obtained by the open-loop simulation
without any turbulence.

As a comparison to the proposed PD-MFAC scheme, a traditional GS-PI controller is also
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designed. In this controller, the proportional and integral terms are defined as

ky a ki
Kp(y) = 1+ (5 — yres) kg’ Kiy) = 1+ (y— Yref) kg’ 1o

where y is the flapwise RBM and y,.; is the reference flapwise RBM when there is no inflow
turbulence. The three parameters &y, k;, and k, in the GS-PI controller are also tuned by a PSO
algorithm. The parameters obtained by the PSO algorithm are k, = 5.36e — 02, k; = 8.79¢ — 08,
and kg = 9.8€08.

4. Numerical Simulations

The open-loop and closed-loop numerical simulation of the NREL 5-MW reference wind turbine
with TEFs will be carried out in this section. Using the aeroservoelastic modeling method described
in Section 2, and the control strategies described in Section 3, the dynamic responses of the wind
turbine configuration are simulated in a Matlab environment. We test the performance of both
PD-MFAC TEF controllers and GS-PI TEF controllers. Three independent TEF controllers are
mounted on three blades separately to alleviate the oscillations of the flapwise blade root bending
moment (RBM) on each blade. The real-time variation of RBM on each blade is measured at every
time step and sent to the PD-MFAC and GS-PI control system as the control input. Since the
goal of this work is to alleviate the relative high-frequency load variation caused by turbulence, a
high-pass filter is implemented before RBM signals are sent to the control system. The high-pass
filter is designed to filter the low-frequency 1P, 2P, and 3P load of the model wind turbine and keep
the load caused by the turbulent inflow wind. The low frequency oscillating loads could be easily
dealt with by classical IPC, which is out of the scope of this work. A time step of 0.005 second is
chosen for the numerical simulations. Convergence tests are carried out with three different time-
steps 0.001, 0.003, and 0.005 second. For each free-stream velocity and turbulent intensity case,
the wind turbine rotor is rotating at a speed of 12.1 rpm, and the simulation lasts 6450 time steps,
i.e. 32.25 seconds, or 6.5 cycles. We are more concerned about high disturbance. Thus, the control
parameters for both the PD-MFAC and the GS-PI controller are tuned in the case with the high
disturbance (with an income velocity of 14m/s and turbulence intensity of 17.5%) among all six cases
considered in this work. The time duration is chosen as a trade-off between the computational cost

and the inclusion of as much as the load oscillation effects caused by the high-frequency turbulent
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inflow. The open-loop and closed loop simulation results are shown in Fig[T2] and Fig[I3] Figure
demonstrates the results of several key indexes for the unsteady dynamics of the wind turbine
systems with or without TEF controllers: (a) is the flapwise root bending moment (RBM); (b) is
the root torsion moment (RTM); (c) is the flap deflection angle; and (d) is the blade tip deflections
(BTD). The open-loop simulation results are indicated as solid black lines, the simulation results
with PD-MFAC controllers are indicated as solid red lines, and the time-varying results with the
GS-PI controllers are shown as solid green lines. From the Fig[l2] (a)(d), we can see that both
control strategies have largely alleviated the oscillating of RBM and BTD. Both controllers cannot
suppress the oscillation of RTM as shown in Fig[12] (b). Due to the additional moment contributed
by the TEF configuration, an inevitable increase in the fluctuation of blade RTM is observed for
both controllers. In Fig (c), we can see that the flap deflection angle varies in the range from
—15° to +15°. Figures (13| (a) and (b) show the probability density plots of the RBM and the BTD

I
Open-loop |
MFAC
GS-PI

1

Open-loop
MFAC 4
GS-PI

I
Open-loop
MFAC 8
GS-PI

1 1 1
3 4 5 6 7
No. of cycles

Figure 12: Open-loop and closed-loop time simulation results of (a) root bending moment; (b) root torsion moment;
(c) flap angle and (d) blade tip deflection, at a flow velocity of 14m/s and turbulence intensity of 17.5%.
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purely casued by turbulence, respectively. We can see from these figures that the density bars for
the open-loop simulations are more centralized than those for the GS-PI controller simulations.
And the density bars for the GS-PI controller simulations are more centralized than those for PD-
MFAC simulations. Thus we can come to a conclusion that, an obvious reduction in the blade root
load and the deformation deviations could be achieved through the TEF controllers. Moreover, the
proposed PD-MFAC has better performance than the classical GS-PI. For the same case, the time
sequence data of the flapwise RBM and the BTD purely caused by the turbulence are transformed
into the frequency domain through discrete Fourier transformation. As a result, the comparison
of the power spectral density (PSD) of RBM and BTD for different controllers and the open-loop
simulation are shown in figures [13| (¢) and (d). It is observed that both control strategies reduce
the vibration in most of the frequency domain. With regard to the RBM, the PD-MFAC is slightly
superior to the GS-PI in most of the frequency domains except for a middle frequency between 0.1
Hz and 0.2 Hz. For reducing the BTD oscillation, the PD-MFAC works just as well as the GS-PI
at a low-frequency domain (<0.1 Hz), while the GS-PI reduces the displacement to a larger extent

than the PD-MFAC at a higher frequency range.
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Figure 13: Probability density plot of (a) root bending moment (RBM); (b) blade tip deflection (BTD), and the
power spectral density (PSD) of (¢) root bending moment (RBM); (d) blade tip deflection (BTD), at a flow velocity
of 14m/s and turbulence intensity of 17.5%.
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For the case of a same turbulence intensity of 17.5% and a different flow velocity of 11m/s,
the simulation results are displayed in figures [14] and Similar conclusions could be drawn from
the previously designed case. The lower the mean wind velocity is, the smaller the flap deflection
angle is needed to suppress the load caused by turbulence. For this specific case, the flap deflection
angle varies between —12° and +12°. Likewise, the TEF deflection causes a high-frequency small-
amplitude oscillation of RTM, and the amplitude of oscillation caused by MFAC is larger than that
of GS-PI. According to the probability density distribution plot (Fig. a) (b)) and the PSD RBM
plot (Fig. [15] (¢)(d)), the PD-MFAC have a marked advantage over the GS-PI for the reduction of
both RBM and BTD in most of the frequency domains.
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Figure 14: Open-loop and closed-loop time simulation results of (a) root bending moment; (b) root torsion moment;
(c) flap angle and (d) blade tip deflection, at a flow velocity of 11m/s and turbulence intensity of 17.5%.

For an other case at a mean flow velocity of 11m/s and a turbulence intensity of 6%, the results
for the time variation of the RBM, the RTM, the TEF deflection angle, and the BTD are shown
in figures [16{a),(b),(c), and (d), respectively. In this specific case, the TEF deflection angle varies
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Figure 15: Probability density plot of (a) root bending moment (RBM); (b) blade tip deflection (BTD), and the
power spectral density (PSD) of (¢) root bending moment (RBM); (d) blade tip deflection (BTD), at a flow velocity
of 11m/s and turbulence intensity of 17.5%.

between —10° and +6° as a control output to alleviate the unsteady load. The total reduction of
the oscillating RBM, in this case, is not as significant as it was in the previous cases. This is because
the control design of this work is targeted for the turbulent load, and a lower turbulent intensity
here causes lower load oscillations. The probability density of RBM and BTD are shown in figures
a),(b), respectively. It is shown that the probability distribution of both RBM and BTD using
PD-MFAC are centralized around 0, while those data obtained by using GS-PI are centralized
around a negative value. Therefore, the performance of PD-MFAC in this case is substantially
better than that of GS-PI. The PSD RBM and BTD in the frequency domain shown in figures
[17/(c) and (d) indicate that the PD-MFAC surpasses the GS-PI in most of the frequency domains
except in a frequency between 0.1 Hz and 0.2 Hz.

Table [2] demonstrates the closed-loop alleviation of blade loads under 6 cases of different flow
velocity and turbulence intensity with flaps actuated by the PD-MFAC controller and the GS-PI
controller. An rms RBM reduction of 50.29 - 56.44% and an rms BTD reduction of 54.53 - 62.12%
have been achieved using the PD-MFAC. Note that in this work, we consider the reductions of

the high-frequency load mostly caused by the turbulence, while some other works consider the
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Figure 16: Open-loop and closed-loop time simulation results of (a) root bending moment; (b) root torsion moment;
(c) flap angle and (d) blade tip deflection, at a flow velocity of 11m/s and turbulence intensity of 6%.

Cases Flow TI MFAC % rd GS-PI1 % rd MFAC % rd GS-PI % rd

(m/s) (%) rms RBM rms RBM rms BTD rms BTD
1 14 17.5 53.82 44.54 58.30 51.32
2 14 10.0 50.29 37.46 55.34 37.28
3 14 6.0 55.27 34.96 62.12 36.37
4 11 17.5 55.08 46.99 57.41 54.08
5 11 10.0 54.01 25.77 54.53 36.22
6 11 6.0 56.44 26.45 58.62 36.19

Table 2: Comparison of the closed-loop simulation results for the alleviation of blade loads under the cases of different
flow velocity and turbulence intensity with flaps actuated by PD-MFAC and the Gain-scheduled PI controller. The
abbreviations are: rms (root-mean-square); rd (reduction); TI ( turbulence-intensity); RBM (root-bending moment);
BTD (balde tip deflection).
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Figure 17: Probability density plot of (a) root bending moment (RBM); (b) blade tip deflection (BTD), and the
power spectral density (PSD) of (c) root bending moment (RBM); (d) blade tip deflection (BTD), at a flow velocity
of 11m/s and turbulence intensity of 6%.

reduction of the full range of frequency load. It is shown in Table 2] that the proposed PD-MFAC
has an evident advantage over the traditional model-free adaptive GS-PI controller concerning the
reduction of flapwise RBM caused by turbulence. Additionally, as a bonus, the PD-MFAC controller

also outperforms the GS-PI controller in the alleviation of BTD caused by turbulence.

5. Discussion

An aeroservoelastic model for a wind turbine with TEF configurations has been developed and
a model-free PD-MFAC smart rotor controller has been designed for the load alleviation of this
wind turbine model. This new model includes an unsteady vortex panel method coupled with a
delayed-stall scheme to cope with flow separations. In the regular operating condition, most of the
flow around a wind turbine rotors is attached, however, flow separation may frequently happen in
the blade root area and for the cases of larger TEF configurations with larger flap deflection angles.
Therefore, this new model enables us to more complex operating conditions when the system does
not lie in the attached flow regime.

The main purpose of this work is to study the practicability of the PD-MFAC strategy on the
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alleviation of the fluctuation load purely caused by the income flow turbulence. The simulation

results in the previous section reveal that the PD-MFAC controllers considerably alleviate the

flapwise RBM and the BTD caused by turbulence. The excellent performance of the PD-MFAC

scheme on the load alleviation of wind turbines through smart rotor control has been thoroughly

demonstrated. The results pave the way for more efficient control strategies of larger and more

flexible structures, such as wind turbines.

6. Conclusions

This work has studied the modeling and load alleviation control method of smart rotor wind

turbines driven by a novel PD-MFAC scheme.

1.

The newly built aerodynamic model is capable of dealing with separating flows, in this way to
give a relatively high fidelity modeling of the wind turbine dynamics controlled by a TEF of
any size and rotates at any deflection angles. The TEF deflection affects the aerodynamic force
coefficients in several ways: (a) changing the equivalent camber-line, therefore, adjusting the
linear force; (b) disturbing the separating bubbles, subsequently, changing the nonlinear force;
(¢) causing the rolling-up of a trailing edge vortex, as a result, altering the force coefficients

through an up-wash effect.

. As an extension to the previous work, the merit of the novel PD-MFAC strategy has been fully

explored here for the effective dynamic load reduction of flapwise RBM on the wind turbines
using a TEF control system. The PD-MFAC shows privileges with regard to alleviating the

turbulent load in comparison to classical GS-PI control algorithms.

. A substantial effective turbulent load reduction has been achieved using the PD-MFAC, with

an rms RBM reduction of 50.29 - 56.44% and an rms BTD reduction of 54.53 - 62.12%.
The PD-MFAC scheme is easy to implement on real systems since it only depends on the
real-time input and output data measured from the plant. And the PD-MFAC flap controller

has shown its great effectiveness in both tuned case and other cases as shown in Table

In summary, a novel aeroservoelastic model of middle fidelity capable of dealing with flow

separations has been developed. This new model has been used to study the dynamics of the

reference HAWT under the control of TEFs with a size of 15% chord length and with any deflection

angles. This nonlinear aeroservoelastic model consists of a geometrically non-linear composite beam
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model for the structural response of the tower/blades assembly and a VPM-based aerodynamic
model for the aerodynamic forces acting on the blades. It is coupled with nonlinear aerodynamics
including separating flows and could be used to analyze the detailed flow field. A novel PD-MFAC
algorithm has been used to actuate the TEF deflections in order to alleviate the turbulent dynamic
load on the wind turbine rotors. Through numerical simulations on the open-loop and closed-loop
systems, the PD-MFAC shows satisfying turbulent load reduction in various cases. In comparison
to the classical GS-PI control algorithms, the PD-MFAC control scheme has better performance
in reducing the oscillation of RBM and BTD, especially for the off-design cases. Moreover, the
probability density distribution analysis showed that the performance of PD-MFAC is better than
the traditional GS-PI controller. And this advantage is even greater in off-design conditions. The
power spectral density analysis indicated that for most of the tested cases, the PD-MFAC is superior
to the GS-PI in most of the frequency domains except in a frequency between 0.1 Hz and 0.2 Hz.
In the future work, (a) the optimal size of the TEF which offers a better control performance could
be studied; (b) the wake effect and the three-dimensional effect could be included; (c) the load
alleviation of a larger wind turbine (e.g. 20MW), could be studied using the proposed model and

control strategy.
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